Abstract: This paper investigates the fatigue upgrading of typical cover plate joint connections in existing steel bridge girders through cover plate extension. The upgraded detail is created by removing the existing transverse end weld, then welding the extension to the existing cover plate with the underlying plate acting as backing. The extended cover plate should end in a zone of low stress variation. The fatigue resistance of this detail is investigated by means of scaled specimen and beam testing as well as a corroborating detailed finite element parametric study. The different potential crack initiation sites as well as the three-dimensional effects due to the presence of longitudinal welds are considered. It is found that depending on the exact geometry of the joint, cracks may initiate either from the weld toe or the weld root. A classification of the joint in appropriate detail categories is proposed. It is shown that depending on the thicknesses of the cover plate extension, the existing cover plate and the underlying plate, the detail category may vary between FAT 50 and FAT 80 (E´ and D following AASHTO classification).
INTRODUCTION
Cover plates are occasionally fillet-welded on steel bridge girder flanges in order to increase their bending resistance. In most cases, these cover plates are discontinuous and located only in the regions of maximum/minimum moments, as shown schematically in Fig. 1 . In these cases, the transverse welds at the cover plate ends introduce a particularly unfavorable stress concentration in the girder flanges. This joint type has a very low characteristic fatigue strength for nominal stress range, which, depending on the thicknesses of the underlying plate (flange) and the cover plate, ranges between 36 MPa and 56 MPa (AASHTO 2014; CEN 2005; Hobbacher 2016 ). Such a low fatigue strength may severely reduce the safe service life of a bridge. A possible intervention for upgrading the fatigue resistance of this joint type consists in extending the cover plate up to the next cover plate or up to a zone of low stress variation. This involves (i) the grinding of the transverse end welds and possibly a part of the existing cover plates, and (ii) fillet welding of the cover plate extensions to the underlying plate in the longitudinal direction and transverse butt welding of the connection with the existing cover plates and the girder flange in the transverse direction. The existing and upgraded joints are illustrated in Fig. 2 .
Due to safety considerations, the traffic has to be interrupted during the intervention. The extension of the existing cover plate will not be stressed by the permanent loads and shall not be considered in the deflection computations at SLS; however, at ULS and fatigue limit state the entire cross-section including the extension should be considered. Regarding fatigue, the existing stress level will only marginally influence the upgraded connection performance because of grinding and re-welding; thus, one should conservatively assume high tensile residual stresses at the fatigue prone initiation points. The detail classification is solely done with the stress range that is typically used in most design standards. In the design of the upgraded joints, it might be desired to minimize the additional self-weight of the structure by using a cover plate extension thinner than the existing cover plate. In that case, the difference in axial stiffness between the two plates results in that only a part of the axial force in the existing cover plate is transmitted to the extension, while the remaining part is deviated through the root of the transverse weld into the underlying plate. This flow of forces is schematically shown in Fig. 2 . Because of the local force introduction, stress concentrations at the two boundaries of the weld root (i.e., R1 and R2 in Fig. 2) are not completely avoided in the upgraded joint. Their intensity depends on the magnitude of the deviated force and thus on the difference in thickness between the existing and the cover plate extension.
Thus, from a functional point of view, the proposed upgraded detail features characteristics of both a butt weld with backing and a transverse end weld. However, it differs from a butt weld with backing because the underlying plate, which plays the role of backing, directly attracts a significant portion of the applied load. It also differs from a transverse end weld because the region of stress concentration around root boundary R1 is delimited by the slit between the cover plate extension and the underlying plate and not by the obtuse notch of a weld toe. The influence of this geometry is examined in detail in this paper by means of detailed finite element simulation. Kuhlmann and Kudla (2015) investigated a geometrically similar type of joint, the lamellae joint. They reviewed and analyzed a large set of experimental data and proposed the classification of this detail in category FAT 90 of EN-1993 (CEN 2005 ) (equivalent to category C in AASHTO LRFD Bridge design specifications (AASHTO 2014)), which is also the detail category for unground butt-welds with weld convexity height less than 10% of the weld width (CEN 2005) .
However, the aforementioned experiments were conducted on joints of packs of equal thickness or with a difference in thickness of less than 10%.
Other factors that may significantly affect the nominal fatigue strength of the upgraded joint include the longitudinal welds, which participate in the partial deviation of the axial force into the underlying plate and restrict the extension plate from bending-away due to the weld root rotation (Fig. 3) , and the grinding of the underlying plate (for the removal of the existing transverse end weld), which may introduce surface defects in the region of the new transverse weld root.
To the best of our knowledge, the nominal fatigue strength of the proposed detail is not covered by any of the details listed in the major fatigue design of welded structures standards including (AASHTO 2014; CEN 2005; Hobbacher 2016 ). The main objective of this paper is to suggest an appropriate classification of the proposed upgrading detail according to the size of its various components. This is achieved by taking into account all its above presented particular characteristics. This classification is accomplished by means of large-scale experiments complemented by detailed finite element parametric analysis.
EXPERIMENTAL INVESTIGATION

Specimens
The experimental program included the testing of 10 tensile specimens and 2 beam specimens.
The specimens were fabricated from S355J2+N steel (nominal yield stress � = 355 MPa and minimum CVN value of 27 J at -20°C) according to an execution class EXC3 (CEN 2008) . The specimens were fabricated in three stages in order to simulate the actual intervention in an existing steel bridge. After grinding to remove the existing welds and a small part of the existing cover plates, the longitudinal (non-fatigue critical) welds on both sides of the specimens were made in a second phase according to quality C requirements as per ISO 5817 (ISO 2014); the transverse butt welds were finally completed in a third phase according to quality class B requirements. A 25% portion of the class B welds was checked by Ultrasonic Testing. The transverse welds on the tensile specimens were executed in flat position, while the transverse welds on the beams (both flanges)
were performed in overhead position in order to better simulate the welding conditions on site.
The specimens were inspected visually after the removal of the existing transverse end welds and of a small part of the cover plates, just before the welding of the additional cover plates. It was verified, by visual inspection, that the base plate surfaces (for the tensile specimens) or the flanges (for the beam specimens) close to the existing cover plates, where the transverse butt welds were about to be made, were smooth and free from visible grinding scratches. After the welding completion, there was no further treatment applied on the specimens except a very limited grinding of the plate edges as it can be seen in Fig. 4 .
The geometry of the tensile specimens is shown in Fig. 5(a) and was adapted to the loading capacity and the dimensions of the testing machine and its hydraulic grips. Roughly speaking, the plate thicknesses used for the specimens are 2 to 3 times smaller than those usually encountered in real bridges. The dog-bone shape was necessary to ensure that the central part of the specimen had a sufficiently small sectional area such that the required stress levels could be applied without exceeding the load capacity of the testing machine. At the same time, the specimen extremities were sufficiently large such that the specimen could be properly clumped on the testing machine.
The existing cover plate end was tapered with a slope of 1/4, which is the steepest slope generally allowed by most standards (AASHTO 2014; CEN 2005; Hobbacher 2016 ) in the similar fatigue detail descriptions. The specimens were instrumented with two strain gages (grid dimensions 5 mm × 10 mm), each one in a quarter bridge (3-wires) configuration. The strain gages were attached in the center of the cover plate extensions on each side of a specimen. The beam specimen geometry is shown in Fig. 5(b) . The beam specimens were designed for testing in four-point bending. Their dimensions were adapted to the capacity of the actuators and the dimensions of the available test setup. To this end, an IPE 270 profile was utilized (approximately equivalent to a W12× 26), both flanges of which were reinforced using the above-described upgraded detail. It is noted that due to the actuator capacity limitations the beam depth could not be scaled proportionally to the rest of the dimensions. Hence, the depth of the employed beams was 4 to 6
times smaller than what is usually encounter in real bridges, while the thicknesses and the flange width and cover plates are scaled down by a factor of approximately 1:2 to 1:3 as for the tensile specimens.
Testing parameters
Both tensile and beam specimens were tested under force-controlled constant amplitude cyclic loading with a loading ratio = 0.1. The loading frequency was different for each load amplitude and was chosen as the maximum frequency that could be sustained by the machine or the actuators in order to minimize the testing time (see Tables 1 and 2 ). Note that up to at least 50 Hz, the frequency has no effect on fatigue for steel at room temperature (e.g. Gurney 1979) . The tensile specimens were tested at a universal testing machine, while the beam specimens were tested in a four-point bending set up whose geometry is shown in Fig. 6 . Note that the two run-out specimens, T1 and T6, were retested at a higher load range. The results of these retests are identified under the names T1' and T6', respectively.
For the tensile specimens, the failure criterion was the fracture (complete separation) of the specimen, while for the beam specimens the failure criterion was the formation of a large crack affecting a large part of the bottom flange area; the two criteria are deemed equivalent.
The nominal stress range was calculated using the strain gage measurements installed in the center of the cover plate extensions on both the tensile and the beam specimens. For this purpose, a modulus of elasticity = 209 GPa was deduced as the mean of ∆ � /[(∆ � + ∆ � )/2] for all the tensile specimens for which reliable strain measurements could be obtained; ∆ � and ∆ � are the strain ranges measured on the two sides, A and B respectively, of each specimen (see Fig. 5(a) ).
By using direct strain measurements, the influence of the unintentional bending due to imperfections in the planarity of the specimens could be taken into account.
Depending on the observed failure mode, the nominal stress range was calculated either at the outer surface of the cover plate extension; or at the interface between base plate and cover plate; or at the surface of the weld between the two passes. It was assumed that a linear stress distribution in the cross-section is representative to determine nominal stress values for fatigue design (this applies to both the beam and the tensile specimens in which small bending moments develop during the test due to the inevitable non-planarity of the specimen). If strain gage measurements could not be obtained due to strain gage failures, the nominal stress range, for the tensile specimens, was calculated by simply dividing the applied force range ∆ by the initial nominal cross-sectional area at the center of the tensile specimen. For the beam specimens, the same quantity was computed by dividing the moment range ∆ by the modulus of resistance ��� corresponding to the stress at the outer surface of the cover plate extension.
Observed failure modes
Three different failure modes were observed. Each one of them is characterized by a different location of the first crack initiation.
Most tensile specimens (T1', T2, T3, T5, T7 and T8) and the two beam specimens (B1 and B2) failed in a similar manner referred to as Failure Mode I and illustrated in Figs. 7(a) and (b), respectively. On one of the tensile specimen joints, multiple crack initiations at the toe (T) of the transverse weld coalesced and formed a large crack front, which propagated through the entire thickness of the extension cover plate. In parallel to the above crack propagation, cracks also initiated on the surface of the underlying plate at multiple locations along the root (R1) of the transverse weld. These cracks started to propagate rapidly once the cover plate fractured almost through its entire thickness. Eventually, the final separation of the tensile specimen occurred with large plastification and necking of the opposite uncracked cover plate. In three of the above specimens (T3, T5, T8) crack initiations were also observed on the opposite surface of the underling plate along the weld root as well. Notably, these cracks had not propagated significantly at the time of the complete fracture of the base plate.
Specimens T4 and T6' failed in a different manner referred to as Failure Mode II and illustrated in Fig. 7(c) . In these specimens, a crack initiated between two passes on the surface of one of the transverse welds, and propagated through the weld itself and subsequently through almost the entire thickness of base plate forming a large flat crack propagation surface.
The failure mode of the remaining specimens T9 and T10 is referred to as Failure Mode III and is illustrated in Fig. 7(d) . In these cases, cracks initiated only at the root of the transverse weld and propagated simultaneously through the base plate and the weld. In specimen T9 some of the cracks initiated from air inclusions at the root of the weld. No damage nor crack initiation were detected in the longitudinal welds between the cover plate extension and main plate or flange of beam.
Results
The test data (summarized in Table 3 ) are fitted by linear regression to the logarithmic form of the classic ∆ − power relation = (∆ ) �� . Where, is the number of cycles to failure and m and C are the power law parameters. In accordance to the "Commentary to EC-3 -EN 1993 -Part 1-9 -Fatigue" (Sedlacek et al. 2014) , the characteristic stress ∆ �,�.�� is defined as the lower bound of the one-sided 5% prediction interval of ∆ at 2.0E+06 cycles. The characteristic curve is defined as an offset of the regression line passing through point C (2.0E+06, Δ �,�.�� ). Only results with N<5E+06 are taken into account, i.e. only run-outs are excluded in this case (see Table 3 ).
Calculations are performed for both a variable so-called "slope" and a fixed "slope" of = 3.
Notably, in each specimen, there are more than one joints where fatigue failure can occur; four in the tensile specimens and two in the beams (considering the tension flange only). Thus, from a statistical point of view, a first-to-fail testing is used, the strength of the weaker location in the total length of the transverse weld beads being on average lower than in a single bead length. In order to be on the "safe" side this probabilistic "quantity-effect" (finite sample uncertainty) is not taken into account. In fact, this "quantity-effect" is rather welcomed in these tests since it makes the specimens more representative of the joints in real structures where the length of the beads is generally larger than the length of a single bead in the specimen and closer to the total length of the specimen beads.
The regression and statistical analysis is performed for five different data sets:
Subset 1 (T2, T3, T5, T7, T8) includes the data from the tensile specimens that failed in mode I, except T1´ that failed while retested at a higher load level after an initial run-out.
Subset 2 (T2, T3, T5, T7, T8, B1, B2) includes all the data of subset 1 plus the data from the two beam specimens.
Subset 3 (T2, T3, T5, T7, T8, T9, T10) includes the data from the tensile specimens that failed in modes I and III, i.e. the data of subset 1 plus the data from T9 and T10.
Subset 4 (T2, T3, T5, T7, T8, T9, T10, B1, B2) includes all the data of subset 3 plus the data from the two beam specimens.
Full set 5 (T1', T2, T3, T4', T5, T6, T7, T8, T9, T10, B1, B2) comprises all the available data including those from specimens retested at higher load after a run-out.
The calculated ∆ − curve parameters and characteristic strengths are summarized in Table   4 for all the five subsets and plotted in Fig. 8 for the Full set.
Discussion
When only the results from tests in which the first crack initiation occurred at the weld toe are taken into account (Subsets 1 and 2), the resulting characteristic stress ∆ �,�.�� is approximately equal to 100 MPa. To some extent, this relatively high strength is due to the small thickness of the specimens, which is much less than the reference thickness of 25 mm for which detail categories are generally determined.
It can also be noted that when only data from the tensile specimens are considered (i.e. Subset 1), the determined slope of the ∆ − curve is substantially greater than the standard slope = 3; however, when the data from beam specimens are also included, a slope closer to = 3 is obtained. It is not clear whether this difference suggests a longer crack initiation period in the tensile specimens or is due to the small number of data in Subset 1.
The fact that in most specimens cracks initiated first from the transverse weld toe, suggest that for the particular specimen geometry the nominal fatigue strength of the weld toe (estimated above as Δ �,�.�� = 100 MPa) is lower than that of the weld root. At the same time, the fact that, in all the specimens, cracks initiated also from the weld root -more often as secondary cracks but in some cases also as primary cracks -indicates qualitatively that the observed strength of the weld root is not much higher than that of the weld toe. Unfortunately, the two specimens (T9 and T10) in which cracks first initiated at the weld root are too few to allow for a rigorous quantification of the weld root resistance. When the results from these two tests are included in the statistical analysis, the characteristic stress ∆ �,�.�� becomes less than 90 MPa. This decrease is mainly due to the increased standard error of the regression, while, a median stress ∆ � is not significantly different and has, in fact, a slightly higher value (compare for instance Subset 1 to Subset 3 and Subset 2 to Subset 4).
The above observations suggest that for different thickness combinations and larger specimens the fatigue strength of the weld root may become critical. This issue is treated in the following section by means of numerical analyses through detailed finite element modeling.
NUMERICAL INVESTIGATION
By means of the following numerical investigation (conducted using ANSYS 16.2), the findings of the experimental investigation are extended to cases that involve thicker plates and different thickness ratios by explicitly taking into account the geometric size effect. The type of size effect investigated by means of FE analyses originates from the fact that the microstructural geometry of the material remains unscaled while the macroscopic geometry of the detail is scaled. Additionally, the three-dimensional effect introduced by the longitudinal welds is quantified by comparing results from 3-Dimensional (3D) and 2-Dimensional (2D) Finite Element (FE) models.
FE modeling
The developed FE models correspond to the general geometric configuration of the central part of the tensile specimens (i.e. the constant width part). This is, in fact, the geometry of a doubly symmetric joint with cover plates welded on both sides of a single middle (underlying) plate and the two cover plate "extensions" placed centrally on the underlying plate. This geometric configuration is characterized by two symmetry planes: the middle plane of the underling plate and cross section plane passing from the middle of the cover plate extension. As a consequence, only 1/4 or 1/8 of the joint needs to be modeled in 2D and/or in 3D, respectively, with appropriate boundary conditions applied on the nodes on the symmetry planes. The general geometry, boundary conditions and loading of the FE models are illustrated in Fig. 9 . The nominal stress is defined as the mean stress over the X-X symmetry cross-section (i.e. in the thinner part of the joint). However, the loading is applied on the free end of the model. The value of the applied stress is calculated as shown in Fig. 9 so that the nominal stress as defined above has a value of 100
Pa. In Fig. 10 , the simplified model geometry is superimposed to the cross section of one representative specimen. A number of simplifications are made in the model geometry in comparison to the actual geometry of the specimens.
First, the actual shape of the weld reinforcement is not included in the model. Instead, a constant slope of ¼ (166°) is used in all the analyzed cases regardless of the plate thicknesses.
Measurements of the actual angle of the weld toe in five out of ten fractured joints in the tensile specimens show a range of 158°-164°, with a mean of 161.7° and a standard deviation of 2.5°. The angle was also measured in one of the two fractured joints in the beam specimens and found equal to 150° ̶ the lower value may be related to the overhead welding position. The measured local angles are similar to the angle of the overall slope used in the model, so that the above simplification is deemed representative of both the overall and the local geometry of the weld toe.
Additionally, it is assumed that the weld toe is located (T) just above the weld root (R1).
The width of the weld root has a significant impact on the calculated results. For its realistic specification, five of the specimens were cut in order to measure the actual width of the weld root.
The measured root widths show a relatively large scatter ranging from 8 to 14 mm with a mean value of approximately 11 mm. Using the minimum observed root width of 8 mm and given that the prescribed gap between the plates was 3 mm, a fusion width of (8-3)/2 = 2.5 mm on each side of the root is assumed. This suggests that the actual gap applied during the fabrication of the specimens had a mean value of 11-5 = 6 mm, approximately equal to the thickness of the extension cover plate. In the FE model of the specimen the observed mean value of the root width is employed. For the parametric analysis, it is additionally specified that the gap between the plates increase proportionally to the thickness of the extension cover plate, while the fusion depth remains constant. Hence, the width of the root is determined as �� + 5 mm.
In order to achieve the mesh refinement required for the application of the local stress method described below, the sub modeling technique is utilized. The sub-modeled regions around the weld toe and the weld root boundaries are shown in Fig. 9 . Typical meshes for both the global and the sub-models are shown in Fig. 11 . In general, mapped meshing with quadrilateral or hexahedral elements is applied except for the modeling of the longitudinal welds and the tapered part of the cover plate in the 3D models. The angle of the longitudinal welds with the base plate is taken equal to 45° and the fillet contact dimension is taken equal to the thickness of the cover plate extension minus 1 mm (in order to facilitate the parametric definition of the geometry); no fusion has been assumed. Linear elements with full integration are used in the global models and quadratic elements with reduced integration in the sub-models. Each sub-model contains an inner region meshed with elements of size equal to 0.05 mm and an outer region in which the size of the elements increases progressively.
In the FE model, the cover and underlying plates are allowed to separate. It is therefore necessary to model the contact behavior. This is achieved using contact and target elements (CONTA 172 & TARGE 169 for 2D analysis and CONTA 173 & TARGE 170 for 3D analysis).
Asymmetric contact is applied with the contact elements overlaying the internal cover-plate surfaces and target elements overlying the underlying plate surfaces. Contact is assumed frictionless and cohesionless. A penalty based augmented Lagrange formulation is employed. This formulation allows for a small controlled penetration, but eliminates the phenomenon of chattering (contact points oscillating between close and open position), which often occurs in the alternative normal Lagrange formulation, which does not allow penetration. The normal contact stiffness value is set to 1 (a value that is suitable for bulk deformation), while the penetration tolerance is set to 0.1 of the underling element thickness. It has been verified that the calculated values of the Stress Concentration Factor (SCF) (see below) are not sensitive to the value of the penetration tolerance factor (for example, when this factor is reduced to 0.05, the change in the SCF is less than 1%). In general, contact is a non-linear phenomenon. However, in this case, once a low load level is exceeded and the contact areas are numerically established, the FE model response becomes essentially linear with the contact area remaining practically unchanged and the load increase leading only to a proportional increase in the contact pressure. The applied pressure of 100 Pa is sufficient for the establishment of the contact areas. It has been verified that the contact response of the models is not affected when smaller elements are employed. Contact elements are not used in the sub-models, because the part of the plate interface included in the sub-models is either completely separated (R1), in which case no boundary conditions are imposed on the two surfaces of the interface, or completely in contact, in which the nodes on the two surfaces of the interface are coupled in the Y direction so that contact pressure can be transmitted while relative sliding remains unrestricted.
In all the above models a linear material model is assumed. Second order effects are neglected.
Calculation of fatigue strength by local stress methods
The geometric size effect, for crack initiation and early crack propagation, can only be fully considered through a local Stress Concertation Factor (SCF), which relates the fatigue strength of the joint for a nominal stress range to the steel material's fatigue strength for local stress range.
The material fatigue strength for local stress range is independent, of course, of the joint geometry but dependent on the exact definition of the local stress and the geometry involved in this definition.
In this paper, the local stress is defined, following the Point Method of the Critical Distance approach (CD-PM) (Taylor et al. 2002) , as the first principal stress at distance � from the weld toe or the weld root, in the direction in which this principal stress is maximum. The length � is a material property equal to 1/2 of the El-Haddad material characteristic length (El Haddad et al. Fig. 12 . The nodal location distance from the notch tip is slightly different than the above calculated distance � . Also, the directions along which the distance is measured do not perfectly coincide with the directions of maximum principal stress but are fixed as shown in Fig. 12 . The error introduced by these approximations is negligible considering the uncertainty related to the value of � .
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In the 3D models the least favorable stress field around the weld root occurs on the Z-Z plane of symmetry (i.e. on the longitudinal section at Z=0), while the least favorable stress field in the weld toe occurs near the longitudinal weld at a distance of approximately 1/10 of the plate width from it. Hence, the sub-models around the root boundaries are always adjacent to the symmetry plane, while the exact position of the weld toe sub-model is determined after the analysis of the corresponding global model as the distance at which the maximum surface stress along the weld toe occurs.
After the calculation of the local stress according to the CD-PM, ����� , the local SCF is calculated by dividing the local stress by the nominal stress ��� . The fatigue strength of the joint for the nominal stress range is then calculated by dividing the fatigue strength of the material for local stress range by the SCF. According to Taylor (Hobbacher 2016 ). In the case of the investigated joint, misalignment can be excluded because both cover plates lie on the same underlying plate. Hence, the value 1.15 * 112 = 128.8 MPa can be considered as a lower bound for the 5% characteristic fatigue strength of the material for local stress range at 2.0E+06 cycles (corresponding to Δ �,�.�� ). An upper bound of 143.7 MPa, corresponding to the next higher detail category FAT 125, could also be considered. Taylor et al. (2002) determined experimentally the mean fatigue strength at 2.0E+06 cycles of ground-flush butt welds on low carbon steel approximately equal to 182 MPa. Kuhlmann and Kudla (2015) determined the Δ �,�.�� /Δ �,�.�� ratio from tests on lamellae joints approximately equal to 1.35. Therefore, a value 183/1.35=135 MPa can be calculated for the 5% characteristic fatigue strength of the material for local stress range at 2.0E+06 cycles; this value falls within the above bounds and is employed from this point on.
The fact that the local stress has to be evaluated at such a small distance from a point of theoretical singularity implies that a very fine discretization of the stress concentration region is required in order to obtain accurate results from a finite element simulation. This is the main drawback of the above method. For this reason, the authors tried also to utilize an alternative approach developed by Meneghetti & Lazzarin (2007) . This approach allows for the calculation of a representative local stress from that obtained at the theoretical singularity point, by mean of a rather coarse discretization. The method is based on the hypothesis that the fatigue resistance can be expressed in terms of the average Elastic Strain Energy Density (ESED) in a representative cylindrical volume surrounding the notch tip; the representative stress is defined as the uniaxial stress, in plane strain conditions that corresponds to the same ESED. Additionally, it is assumed that the stress field around the notch tip can be expressed as the result of the superposition of a symmetric opening loading (mode I) and an antisymmetric shearing loading (mode II) and that the elastic strain energy in the cylindrical volume can be expressed analytically in terms of the Notch Stress Intensity Factors (N-SIF) � and �� , for mode I and II, respectively. This assumption is shown to be valid in large but limited range of cases in which the contribution of higher order nonsingular terms (e.g. T-stress) in the stress field near the notch tip can be neglected. Furthermore, it is shown that under certain limitations the N-SIFs can be calculated from the peak stress resulting from a rather coarse mesh by taking into account this element size and using an empirical factor �� * , which depends on the element type but has very little variation for a large range of notch opening angles (0° to 135°).
Because of the practical advantages of the above method, the validity of the above hypotheses in the case of the proposed joint is examined. It is found that at the weld root the energy calculated analytically from the N-SIFs is significantly lower than the energy calculated numerically from a finite element model with adequate mesh refinement around the notch tip (R1). This is attributed to the presence of a significant nonsingular stress field parallel to the notch (i.e. the plate length).
The influence of this field can be illustrated by considering the limiting case in which a crack lies parallel to a uniaxial uniform stress � in 2D plane strain conditions. In this case, � = �� = 0 and the analytical expression would predict zero ESED. However, the ESDE in this case has in fact, a uniform value of (1 − � ) � � /2. Another problem related to the application of the peak stress method in the present joint is that the notch opening angle at the weld toe (162° in average) lies outside the range in which the empirical factor �� * remains nearly constant. Consequently, it was found that the peak stress method, in its above mentioned formulation, cannot be employed in the context of this work.
Validation of the assumptions of the numerical fatigue strength calculation
By applying the aforementioned procedure for a joint with the geometry of the tested tensile specimens, the following fatigue strengths for nominal stress range are obtained for the three accordance with the experimental findings, that the most probable crack initiation location is the weld toe followed, but only with a small difference, by the weld root at R1. Moreover, the fatigue strength obtained for the weld toe is only 4% lower than the characteristic strength obtained experimentally considering only the specimens in which cracks initiated from the weld toe (100 MPa for subsets 1 and 2 above).
PARAMETRIC ANALYSIS
Investigated cases
Taking into account the geometric simplifications presented in Section 3, eighteen different geometries are considered. These cases include two ratios of existing cover plate thickness to base plate thickness �� / � (1.2 and 0.75), three ratios of extension cover plate thickness over existing cover plate thickness �� / �� (0.5, 0.67 and 0.75) and three existing cover plate thicknesses �� (12 mm, 30 mm and 50 mm). For each case, the plate thicknesses � , �� , �� , the width of the root , the element size of the global FE model, the size of the sub model are listed in Table 5 . Case 1 corresponds to the geometry of the tested tensile specimens. For all sub-models the element size is taken equal to 0.05 mm.
All the cases are analyzed using 3D FE models with which the restraint imposed on the cover plates by the longitudinal welds is naturally taken into account both near the middle of the plate, where the SCF is maximum for the weld root, and near the longitudinal welds, where the SCF is maximum for the weld toe.
In order to investigate the relative importance of the 3D effects, six of the above cases are also analyzed by means of 2D FE models (Table 6 ). For the 2D analyses, three different hypotheses for the interaction of the plates at their interface are considered. According to the first hypothesis, which in Table 6 is named "2D merged", the underlying plate and the cover plates are merged together and there is no interface; it is representative of the conditions along the longitudinal welded sides of the cover plates and can be used in order to calculate the local stress at the transverse weld toe near the longitudinal welds. However, under the above hypothesis, it is not possible to define a weld root and for that reason, the corresponding models cannot be employed for fatigue strength evaluation of the weld root. According to the second hypothesis ("2D contact"), the plates are allowed to separate and to slide one relatively to the other without any external retain (e.g. from virtual springs). This condition is modeled by means of contact elements and can be considered as a lower bound (conservative) approximation for the fatigue strength evaluation at the weld root away from the longitudinal welds; on the other hand, it should not be used for the evaluation of the fatigue strength of the weld toe, since the stress concentration at the toe is much higher near the longitudinal weld and decreases towards the middle of the cover plate.
The third hypothesis, which is named "2D bonded", is that the plates are allowed to slide one relatively to the other but are not allowed to separate. This hypothesis does not correspond to the actual conditions at any longitudinal section of the joint; however, it allows the definition of the weld root and for this reason it is examined here as a potentially useful approximation, which could make possible the fatigue strength calculation at both the weld toe and the weld root using a single 2D-model.
Results and discussion
The results of the parametric analysis are presented in Tables 5 and 6 for the 3D and 2D models, respectively. The results are presented in terms of the SCF and the 5% characteristic nominal fatigue strength for the weld toe and the two borders of the weld root, calculated according to Section 3.2.
Notably, the nominal fatigue strength of the weld toe depends mainly on the sum of the thicknesses of the underlying plate and the extension cover plate, as it can be seen in Fig. 13(a) , while it has very little dependence on the cover plate thickness ratio. On the other hand, the fatigue strength of the weld root increases with �� / �� and decreases with � , as it can be seen in Fig.   13(b) . In general, the root strength becomes critical for smaller �� / �� and larger � . The site R1
is always more critical than R2.
The comparison with the 2D results shows that the 2D merged models provide rational results for the weld toe, while the 2D contact models provide consistent but conservative results (as expected). Furthermore, it is noted that the SCFs for the weld toe calculated according to the 2D contact method are severely underestimated (and generally below unit). For this reason, they are not reported in Table 6 . As for the 2D coupled models, they: a) severely underestimate the toe strength, b) overestimate the root strength, and, contrary to the experimental findings, c) predict first crack initiation from R2. Hence, when applying 2D analysis, two different models, "2D-merged" and "2D-contact", have to be utilized for the calculation of the fatigue strength of the weld toe and weld root, respectively. Contrary to what was originally speculated, the "2D-coupled" model does not provide realistic results.
RECOMMENDATIONS FOR PRACTICAL APPLICATIONS
For design purposes, the fatigue strength of the upgraded joint for nominal stress range is classified in detail categories according to Table 7 . The nominal stress range is defined at the outer in which the weld root strength is critical are denoted with an asterisk. Note that some of the abovecalculated cases that fall within a class with asterisk may have almost the same strength for both the toe and root (in fact, the toe strength may even be slightly lower than that of the root). This is due to the higher sensitivity of the root strength to the geometric parameters and to the fact that the overall strength of each class corresponds to the most unfavorable geometry within the class.
The above recommendations are valid within the range of geometries covered by the 3D parametric analysis discussed in the previous section. For geometries outside this range only provisory recommendations can be provided. In particular, when the sum of the underlying plate thickness and the extension cover plate thickness exceeds 70 mm, the fatigue strength of the classes without an asterisk in Table 7 should be downgraded by one FAT category. Additionally, given the 2D analyses results, it is recommended that when the cover plate extension width exceeds 15 times the thickness of the extension cover plate, then the fatigue strength of the classes with an asterisk in Table 7 should be downgraded by one FAT category. There is no additional size effect factor to be taken into account.
The above classification requires that the following recommendations related to the execution of the joint be observed. Quality class B (ISO 2014) should be ensured for the transverse butt welds between existing and additional cover plate. In addition, any interpass undercut should be eliminated by grinding. In order to ensure that a crack that might have already initiated from the eliminated welds of the existing cover plate will not be permanently covered by the extension cover plate, dye Penetrant Testing (PT) should be performed at the location of these welds after grinding. It should also be ensured that the ground surface of the underlying plate or flange is smooth, free from scratches and remains shallow (< 1 mm undercut). Additional geometric constraints are given in Fig. 14. Note that a sufficiently large gap for the weld root is required mainly in order to reduce the stress concentration but also to facilitate the execution of the weld root and to improve its quality.
CONCLUSIONS
In this paper the main findings of a study on the fatigue resistance of a joint detail that can be used for the fatigue strength upgrading of cover plate ends in existing steel bridge girders are presented.
Because of their low fatigue strength, cover plate ends may adversely affect the durability of a bridge and may have to be retrofitted. The upgrading involves the elimination of the existing transverse end weld by grinding and the welding of a cover plate extension with the underlying plate acting as backing. Based on the findings from the coordinated experimental and analytical research work, recommendations for the classification in detail categories of the fatigue strength of the upgraded joint for nominal stress range were proposed for practical applications. The determined fatigue categories account for the size effect and cover a large range of plate thicknesses encountered in practice.
The main findings of this paper are summarized as follows:
In most of the specimens, cracks initiated first from the weld toe, but indications of cracks initiating and propagating from the weld root were also observed on the fracture surfaces (Mode I failure). In two specimens cracks also initiated from the surface between two passes (Mode II failure); however, for the determination of the fatigue category it is assumed that appropriate measures are taken into consideration in order to eliminate the probability of crack initiation between passes (grinding).
The fatigue resistance of the examined joint can be considered as the minimum fatigue resistance of the weld toe and that of the weld root. For the relatively small joint thicknesses that were tested, the weld toe resistance was critical. However, complementary numerical analyses indicate that for larger joints the resistance of the root may become critical if the existing and the additional cover plate have different thicknesses. When the root becomes critical, a severe reduction in the fatigue strength of the detail may occur.
The presence of the longitudinal welds introduces a significant 3-dimentional (3D) effect in the joint. However, 2-dimensional (2D) FE models can also be employed in order to obtain lower bounds of the fatigue resistance. In this case, two models with different interface conditions, "merged nodes" and "contact elements", should be utilized for the fatigue strength calculation of the weld toe and weld root, respectively.
Depending on the thicknesses of the cover plate extension, the existing cover plate and the underlying plate, the detail category may vary between FAT 50 and FAT 80. (E´ and D following AASHTO classification).
In order to minimize the possibility of crack initiation from the weld root it is recommended to consider a joint with equal thickness for the existing and the additional cover plate.
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